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8 As the design process of a wind turbine blade is highly iterative, one needs to do the
9 same calculations several times. During that process, the kind of structural model
10 use must be chosen carefully trying to obtain a good compromise between precision
1 and model setup and computation time. This paper compares four blades structural
12 models of different levels of complexity. These models are compared to each other
13 and with experimental results with respect to their abilities to analyze blade cross-
1 sectional properties, natural frequencies, deflection, strains, buckling strength and
15 composite strength. This comparison shows that even if the 3D shell finite element
16 model is the more precise and is the only one that can manage the regions of the blade
17 where the cross-sectional shape changes quickly, strength of material based models
18 give accurate results. Even the simpler model, based on blade shape simplification,
19 gives conservative and accurate results at a very low computational cost.
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I. INTRODUCTION

Like many other components, the structural design process of a wind turbine blade is an
iterative process. From one iteration to another, the structural designer has to provide blade
cross-sectional properties (for instance, FA, ET, mass per unit length) to the aeroelastic
analysis model and to perform the blade structural dimensioning and validation using the
loads outputted by the aeroelastic model. Either of those can come first depending on the
information available and the hypothesis used.

As a few iterations can be needed to reach the final design, the tools and models used
may not be the same at each iteration. For example, the models needed for final iterations
are not necessarily well suited for preliminary stages of the design process where simple and
easy-to-solve models are generally preferred.

Two types of structural models are mainly used: beam models and 3D shell finite element
models. Beam models are based on the strength of material theory. They are the type of
model used in most of the aeroelastic codes, and they are well suited and often used for the
blade cross-sectional property evaluation. However, they can also yield valuable information
for the blade structural validation. Their capabilities for evaluating stresses and strains,
deflection, buckling, and eigenfrequencies are not as good as those of a 3D finite element
model (especially in the areas of rapid cross section change like maximum chord to root
transition region), but they are sufficient for preliminary dimensioning and validation and
they are much faster to set up and get results than 3D shell finite element models. It is also
interesting to note that the most recent aeroelastic codes tend to include beam models that
are able to manage all the material and geometric coupling between the different deformation
modes of general composite beams. Therefore, complex cross-sectional analysis tools are
needed in order to get all the required cross-sectional properties.

3D shell finite element models are based on surface elements with nodes having transla-
tional and rotational degrees of freedom. Commercial software offers shell finite elements
with through the thickness layered material definition that are well suited for composite
materials. This type of model is often used for the structural dimensioning and validation
of the blade. However, with proper post-processing, a 3D shell finite element model can also

be used to get the blade cross-sectional properties!.

The blade designer then has to choose the right structural analysis model to use in a
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given situation. That being said, the purpose of this article is to compare wind turbine
blade structural models of different levels of complexity with respect to their capability of
blade design and analysis and conclude on their use at the different stages of the blade design
process. These models are compared with each other and with experimental data.

The blade used as reference and the test setup are first presented. Then, four different
blade structural models, from the simplest to the most complex, are described. Finally, the
comparison is made about blade cross-sectional properties, natural frequencies, deflection,

strains, buckling strength and composite strength.

II. WESNET BLADE AND TEST METHODOLOGY

The blades used for the experimental part of this article are those of a wind turbine
designed at Ecole de technologie supérieure and manufactured in the course of a project
funded by the Natural Sciences and Engineering Research Council of Canada’s Wind En-
ergy Strategic Network (NSERC/WESNet). This 8.08 m rotor diameter turbine reaches its
nominal power of 10 kW at a wind speed of 9.5 m/s. It uses the direct-drive technology
and is controlled using variable speed and active pitch. The rotor auto-aligns with the wind
direction due to a free yaw and downwind rotor configuration.

The 3.76 m long blades are made of epoxy-glass fiber composite and foam core. A
schematic representation of the blade cross section is presented in Figure 1. The upper
and lower surfaces of the airfoil and the shear web are bonded together. Both aerodynamic
shells are thicker in the maximum thickness region of the airfoil (between 15 % and 45 %
of chord length) to form the spar caps that support most of the blade loads. The blade
external geometry is presented in Table I and the blade composite layup, in Table II. The
longitudinal positions of the first column of Table IT are the beginning of the ply drops. One
ply is dropped each 13 mm (0.5 in). More details on blade structural design can be found
in an authors’ previous work?.

For the experimental validation of the tools developed in this article, different versions of
bending tests were performed. These experiments were done on a steel frame as illustrated
in Figure 2. Two blades were instrumented with strain gauges on their exterior surface.
On the blade surface, reflective targets were also stuck for the blade to be scanned with

a 3D scanner. An EXAscan from Creaform was used. The comparison of deflected and
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C) bonded joints

FIG. 1. Blade internal structure

TABLE I. Blade aerodynamic shape. z is the distance from the blade root, c is the airfoil chord

length and 67 is the airfoil twist angle

z O c Airfoil
[m] [deg.] [m]
0.000 15.3 0.200 Circle
0.160 15.3 0.200 Circle
0.560 15.3 0.334 DU-97-W-300
0.760 14.5 0.318 transition
0.960 13.7 0.303 transition
1.160 12.9 0.287 transition
1.360 12.1 0.271 DU-91-W2-250
1.560 11.2 0.256 transition
1.760 10.4 0.240 transition
1.960 9.6 0.224 transition
2.160 8.8 0.208 transition
2.360 8.0 0.193 transition
2.560 7.2 0.177 DU-96-W-180
2.810 6.2 0.157 transition
3.060 5.2 0.138 transition
3.260 4.3 0.122 transition
3.460 3.2 0.106 transition
3.660 1.3 0.090 transition
3.760 0.0 0.083 DU-96-W-180
4
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TABLE II. Blade layup

Blade region, distance from blade root Laminate

Blade root circular region
0 mm-210 mm [GC/CSM/(+45/-45)3/0¢/(4+45/-45)3/S/
(4+45/-45)3/0s/(+45/-45)3]

Spar cap, from 15 % to 45 % of chord length

210 mm-1074 mm [GC/CSM/(445/-45)2/011/(4+45/-45)2]
1074 mm-2624 mm [GC/CSM/(+45/-45)2/010/ (+45/-45)2]
2624 mmn-3173 mm [GC/CSM/(+45/-45)2 /06 ) (+45/-45)a]
3173 mm-3776 mm [GC/CSM/(+45/-45)2/04/ (+45/-45)5]

Aerodynamic shells, outside spar cap

210 mm-960 mm [GC/CSM/(+45/-45)/011 / (+45/-45)5]

960 mm-3776 mm [GC/CSM/(+45/-45)/01 / (+45/-45)2]
Shear web

210 mm-3776 mm [(+45/-45)3/C/(+45/-45)3]

GC: gelcoat, thickness: 0.51 mm.

CSM: chopped strand mat, glass fiber with vinylester resin, thickness: 0.65 mm.
S: steel studs or 0° unidirectional glass-epoxy filler.

C: foam core, thickness : 19.05 mm.

Thickness of +45° and —45° glass-epoxy layers: 0.23 mm.

Thickness of 0° glass-epoxy layers: 0.50 mm.

undeflected scanned shapes allows the computation of the blade deflection. Note that for
all flapwise bending tests, the upper surface of the airfoils is oriented towards the floor and

the lower surface oriented upward.

The first test performed was a modal analysis of the blades. For that purpose, the blade
root was fixed on the test support. The blade tip was manually deflected and then, quickly
released. The signal of a strain gauge was recorded during the free vibration phase and a

Fourier transform of this signal was used to get the eigenfrequencies of the blade.

A second test was performed in order to recreated the critical load case of the blade.
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FIG. 2. Design load test setup

This was done by loading the blade at two blade stations (z = 2.360 m and z = 3.500 ) as
shown in Figure 2. The loads were applied with manual winches and were transferred to the
blade by aluminum saddles. Loads cells were also installed on the winch cables to monitor
the applied loads.

A third test was intended to measure the blade cross-sectional stiffness properties. For
that purpose, the blade was loaded with a mass applied near its tip. Flapwise, edgewise and
torsional load cases were realized.

Finally, destructive tests were done. These tests were performed in two steps. In the first
step, the blade, fixed at the root, was also simply supported in its central part (z = 2.360 m,
the saddle closest to the root in Figure 2 was supported by a column) and loaded near its
tip (z = 3.500 m, saddle closest to the tip in Figure 2) to create a failure in its outer part. In
the second step of the destructive test, the blade was loaded at z = 2.360 m (saddle closest

to the root in Figure 2) to generate a failure in its inner part.

ITII. WIND TURBINE BLADE STRUCTURAL MODELS

The four different models for blade structural analysis are now presented. From the
simplest to the more complex, we have: (1) simple model, (2) classical strength of materials
model, (3) cross-sectional finite element model and (4) 3D shell finite element model. For
each model, the methods for the computation of eigenfrequencies, deflection, stresses, strains,

buckling, strength and cross-sectional properties are presented, where applicable. The first

6
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two models are built based on literature. The third model was developed by the authors®.
The fourth model uses commercial finite element software.
Before the description of these four models, a section is dedicated to a review of some

generalities about beam cross-sectional properties.

A. Generalities about beam cross-sectional properties

For the purpose of this work, the coordinate system attached to the blade is defined as
follows. The z-axis is the blade longitudinal axis. When the blade pitch angle is 0, the
z-axis is in the rotor plane and point towards the direction of blade rotation, and the y-axis
is normal to the rotor plane and is pointing downwind. This coordinate system is fixed to
the blade and defines the flapwise and edgewise direction that correspond to the out-of-plane
and in-plane directions, respectively, only when the blade pitch angle is 0.

That being said, we can define the vector of beam internal loads as
T
V=\V,V, N M, M, ]\lt} (1)

where V, and V, are the shear forces, IV is the axial force, M, and M, are the bending
moments and M, is the torsional moment. Defining the beam reference axis displacements
as X, Xy and x. and the beam reference axis rotations as ¢, ¢, and ¢, we can express

the beam generalized strain vector as

T
K = |:ry,(z)z fyg(/)z 62 Rz KZ/ Kz (2)
where
Vop = Kl _ @
zx 82 Yy
195%
ng = aizu + o
x:
& = aX
z
Do, (3)
Fe = 0z
o
i
[l R
K, =
0z

This describes the behavior of a Timoshenko beam.
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The relation between beam internal loads V and beam generalized strains k, for a given
cross section is
V =Kk (4)
or

k=F,V (5)

where K, is the cross-sectional stiffness matrix, which is symmetric and F, = K;l is the
cross-sectional compliance matrix.

For an Euler beam, 79, = 7). = 0 in Eq. 3. The cross-sectional stiffness matrix then
reduces to a 4 X 4 matrix, the terms associated with transverse shear due to shear forces
being eliminated. The compliance matrix of an Euler beam model is equal to the compliance
matrix of a Timoshenko beam model from which the first two rows and columns are removed.

In the particular case where the origin of the cross-sectional coordinate system is coin-
cident with the elastic and shear centers, and the x and y-axes are the principal axes of

bending, Eq. 5 reduces to

(v, [kGd, 0o 0o o o0 o] []
v, 0 kGA, 0 0 0 0] [
N 0 0 EA 0 0 0 e (©)
M, 0 0 0 EI, 0 0] |r
M, 0 0 0 0 EI, 0] |
M| | 0 0 0 0 0 GJ| |~
where
A, = / G.odA
GA, = / Gy dA
FA= / E.dA (7)

El, = /Ezy2 dA
El, = /szQ dA

k, and k, are the correction factors for transverse shear! and G.J is obtained from the

solution of the torsion problem. Note that for an axisymmetric cross section:

GJ— / (@2G,. +12G..) dA (8)

8
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G., and Gy, are the material’s shear moduli and F,, £, and E, are the material’s elastic
moduli. The integrations are performed over the beam cross section A.
We can show that the relationship between the beam generalized strains expressed in two

parallel coordinate systems (Figure 3) is
k=T (9)

where

10000 b

0100 0 —a

001 <ba 0
(10)

000 10 0

0000 1 0

00000 1|

The relationship between two sets of internal loads expressed in these coordinate systems

V=TTV (11)
where T;7 = (T;1)T = (TT)~!. The compliance matrix in the prime coordinate system is

thus
F, =T,'F,T;7 (12)

so that
K =FV' (13)
The cross-sectional stiffness matrix in the prime coordinate system is accordingly
K, =T!K,T, (14)
so that
V' =Kk (15)

Two sets of generalized strains and internal forces, after rotation of the coordinate system
(see Fig. 3), are related a follows:

K = Tyr" (16)

and

V = TyV” (17)
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FIG. 3. Coordinate systems used to transform the cross-sectional stiffness and compliance matrices

where ) }
c—-s00 0 O
s ¢c 00 0 O
00 10 00
Ty = (18)
00 0c—-s0
00 0s ¢ O
0 0 00 0 1]

and where s = sinf and ¢ = cos#f.

The cross-sectional compliance matrix in the double prime coordinate system is then:
F/=T,'F,T, (19)

so that
K" =FIV" (20)
and the cross-sectional stiffness matrix in the double prime coordinate system is
K'=T;'K,T, (21)
so that
V"' =K!r" (22)

The shear center of the cross section is defined as the point where an applied shear force

does not cause torsion. So in order for a and b to be the coordinates of this point, the

10
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shear-twist coupling terms of the compliance matrix (F);4 and Flys of Eq. 12) must be null.

The shear center coordinates are then:

z 7_F526
o Fs66
‘ 23
. Eu (23)
© Fas

The elastic center of the cross section is defined as the point where an applied axial
force does not cause bending. In order for a and b to be the coordinates of this point, the
extension-bending coupling terms (FJ,, and Fly; of Eq. 12) of the cross-sectional compliance
matrix must be zero. The elastic center coordinates are then:

Foaalszs — FaasFoza

Te =
2
Fs/l/lFsE)S - E945
F545Fs35 - Fs55Fs34

Ye
F544Fs55 - E9245

(24)

When the origin of the coordinate system is also the elastic center, this coordinate system
can be rotated by an angle 6 = 0; to get the principal axes of bending which are characterized
by the absence of coupling between both directions, i.e., Flys = 0 in Eq. 19. The orientation

of the principal axes of bending is then:

1 —2F 5
0, = —arctan [ ——2 25
S (Fs% - Fs44) (29)

B. Model 1: Simple model

Several simple models for blade preliminary analysis have been proposed®” (for instance).
The one proposed here is based on Hansen’s book®, where the cross section is represented as
shown in Figure 4. The only parts modelled are the spar caps idealized as two rectangular
strips. ¢ is the chord length and ¢ is the airfoil thickness.

The cross-sectional inertia (about an axis parallel to the chord line and passing through

the mid distance between both spar caps) is

3 7 3
;b bt —2h)

=—— 2
12 12 (26)
and the maximum strain (and absolute value of minimum strain) is
Mt
e = 2
‘T 2EI @)
11
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FIG. 4. Model 1: Simplified blade model

where M is the bending moment. The term "local flapwise” is used to describe this bending
direction. As a simple and conservative assumption, the resultant of the in-plane and out-
of-plane bending moments is supposed to be applied about an axis parallel to the chord line.
E is the spar cap elastic modulus.

Using Eq. 26 and 27, the required spar cap thickness as a function of airfoil shape, material

properties and bending moment is

(28)

where e is the failure strain.

This model can then be used for the dimensioning of the blade spar caps with Eq. 28.
Once the spar cap thickness is known, at several cross sections along the blade length, a
blade mass can be estimated using typical relations between spar cap mass and whole blade
mass. The model can also be used for the stress and strain analysis with equations 27 and
26.

As just demonstrated, this model is well suited for preliminary structural dimensioning
of wind turbine blades based on strength. However, it is not usable to evaluate natural
frequencies, deflection and buckling. Also, the only cross-sectional stiffness property it

computes is the local flapwise bending stiffness.

C. Model 2: Classical strength of materials model

This model is based on classical strength of materials theory. Figure 5 shows the different
coordinate systems used for this analysis. Taking into account the thin-walled nature of the

wind turbine blade, the integral over the area A of the cross section is computed as a line

12
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FIG. 5. Model 2: Coordinate systems for the classical strength of materials model

/AfdA:/Sftds (29)

where t is the wall thickness, s is the variable along the walls and f is the quantity to

integral over the walls:

integrate.
This integral is then evaluated numerically by discretizing the contour in several segments

and summing over these segments:

/ ftds =" fitiAs; (30)

Before performing these calculations, the contour points are translated towards the inte-
rior of the cross section by a distance of half of the wall thickness. The coordinates of the
contour point then represent the mid thickness surface of the walls.

For the analysis of the extension and bending behaviour of the blade, a first set of cross-

sectional properties relative to the reference coordinate system (xy) can be computed as®:

m:/EdA

A

ESx:/yEdA
A

Tsyz/xEdA
A

BT, — / VEdA
A
T, - / PEdA
A
El,, = / zyE dA
A
where F is the material’s elastic modulus in the z-direction. For laminates, the effective

13
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a3 elastic modulus is used. From these properties, the coordinates of the elastic center are:

3,
£A (32)

_ES,

Y= Fa

2z Knowing the location of the elastic center, the bending stiffness relative to this point are:
BT, — / (/)2EdA = BT, — 42 FA
A
B, — / () EdA = BT, — «2FA (33)
A

Fl.y — / 'y EdA = BT,y — vy, FA
A

215 Finally, the angle between the 2’-axis and the closest principal axes of bending is:
1 2E1,,
a = - arctan (f) (34)
2 El,—FEl,

26 and the bending stiffnesses around these axes (referred as local axes) are

- FEI,+FEI, EI.-FI ==
FEl, = ””;r Yy =z ycosQa—l—EIzysinZoz
A (35)
El,+FEI El, —EI —
I;— Y 12 Y cos2a — B, sin 2a

El, =

ar Fl; is the local flapwise bending stiffness and ET, is the local edgewise bending stiffness.
2 Generally, for a wind turbine blade, EI, > ET;.

219 For a given cross section, if the local flapwise bending moment M, the local edgewise
20 bending moment M, and the axial force N are known, it is possible to compute the axial

21 strain of a point using:

_ ]\/112/;; ]V[QLEP n N
El, FEI, EA

22 where z, and y, are the coordinates along the 1- and 2-axes respectively and AM; and M,

(36)

z

23 are computed as:
M, = M, cosa — M, sin v

(37)
My = M, sin o + M, cos a
224 For the analysis of torsion, from strength of materials textbooks”!?, the unit torsion angle
25 of one of the cells of a multicell thin-walled beam is:
1 ds ds ds
iz = i P =7 — G- = = 38
K 2Ai<q ATkl AT q+1/i:i+1Gt) (38)

14
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»s t and G are respectively the wall thickness and shear modulus. For laminates, the effective
27 shear modulus is used. A; is the surface enclosed by the ith cell and ¢;, ¢;_1 and ¢;41 are
28 respectively the shear flow in the walls of the ith cell, the shear flow in the web left to the
20 ith cell and the shear flow in the web right to the ith cell (see Figure 6). Integrals over (i),
a0 (i —1,4) and (4,7 + 1) are respectively integral over the ith cell, the web to the left to the
an ith cell and the web to the right to the ith cell. Using the following notation,

ds
5= ¢ —
Gt
o s (39)
)i, Gt
22 Eq. 38 can be written as
24k, = Q¢5i - (11;151'71,1' - Qi+16i,i+l (40)

233 Knowing that each cell must have the same unit torsion angle k., the previous equation is
2 repeated for each of the n cells of the beam. This results in a system of n equations to

25 compute the shear flow ¢; in each cell:
2k, A = dq (41)

26 where

T
A:|:A1 AQ A3 An:|

T
q= |:(I1 q2 43 - .. fIn]

[ 0 —d02 O 0 0 0]
42
—012 02 —d23 O 0 0 (42)
6= 0 —(52’3 (53 —(5374 e 0 0
: : : : 0 0
L 0 0 0 0 0 —6p-1 6n]
27 From equilibrium,
M, =2A"q (43)
2 where M, is the torsion moment. Introducing the torsional stiffness GJ:
M, = Gk, (44)

15
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FIG. 6. Model 2: Torsion analysis of a multicell thin-walled beam
From Eq. 41, 43 and 44, the torsional rigidity can be computed as:
GJ=4AT67'A (45)

The deflection analysis procedure is as follows®. Assuming that the applied forces (p,,
py and p,) and moments (m,, m, and m,) per unit length are known at n different points
from the blade root to the blade tip and assuming a linear variation between these points,
the internal load distribution at each of these points (V, Vj,, N, M,, M, and M;) can be
computed numerically.

For each point, the beam curvature can be computed by first transferring the bending
moments in the principal axis of bending and then, by evaluating the curvatures around
these axes. Finally, these curvatures are converted into the xy-coordinate system.

The axial and torsional beam generalized deformations can be evaluated with:

N

EA

_ 4
i (46)
GJ

Assuming a linear variation of these beam deformations between loading points, the beam
rotations and deflections can be computed numerically by solving Eq. 3 assuming that
P = 'ygz = 0. By doing so, the effect of transverse shear is neglected, following the Euler-
Bernoulli hypothesis.

For the modal analysis, the blade mass distribution is required. Following the same
procedure as for the calculation of the cross-sectional stiffness properties, the mass per unit

length m’ can be computed at some location along the blade length as:
m = / pdA (47)
A

16
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FIG. 7. Model 2: Example of panels for buckling analysis

where p is the material density. The modal analysis procedure used here® allows the com-
putation of the first flapwise and edgewise bending modes, the most important for blade
design.

For the buckling analysis, at a given cross section, the blade exterior surface is separated
in different panels. A separation between two adjacent panels occurs each time (1) a web is
connected to the blade surface and (2) there is a change in the laminate. For instance, in
Figure 7, the cross section is separated in 8 panels. For each panel, the width b is computed
as the sum of the length of the elements forming the panel and the critical compressive force
per unit length is calculated using the conservative infinite length (in the blade longitudinal

direction) buckling solution for flat panel simply supported on all sides!! :

2 2
N = b% (\/ D11Dsys + Dy + 2D66) (48)

where D1y, Dag, D1o and Dgg are the panel bending stiffnesses obtained from the classical
lamination theory!' 4,
For each panel, the mean (along its width) compressive force per unit length NV, is also

computed. For each element, N, is computed as:
N, =o0,t = E,e,t (49)

where t is the panel thickness and E, is its modulus of elasticity (effective modulus for
laminates).

A buckling failure index can then be computed as:
N,

N (50)

E)llckling =

D. Model 3: Cross-sectional finite element model

The third model for blade structural analysis is based on a finite element discretization

of the cross section. This framework, sometimes called Nonhomogeneous Anisotropic Beam

17
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FIG. 8. Model 3: Example of blade cross-sectional mesh for analysis

Section Analysis (NABSA) was proposed by Giavotto et al.!® and used by Blasques et
al.'619 Tt uses triangular and quadrilateral elements to discretize the beam cross section.
Capitalizing on the fact that wind turbine blades are thin-walled structures, the authors have
added line finite elements to this framework, allowing modelling thin-walled cross sections®.
Figure 8 shows an example of blade cross-sectional mesh for this method.

This method allows the computation of a 6 X 6 cross-sectional stiffness matrix at different
points along the blade length. The post-processing of the results also allows the computation
of the stresses and strains in the cross sections.

When it is needed to model the whole blade behavior (for deflection and modal analysis),

the blade is discretized using 3-node Timoshenko beam finite elements.

E. Model 4: 3D shell finite element model

The use of 3D finite element models for structural analysis of wind turbine blades is
common. Most of the time, due to the thin-walled topology of these structures, shell fi-
nite elements are employed. As the exterior shape of the blade is the reference shape for
aerodynamics, the finite element mesh is frequently located on this surface and the element
thickness is built towards the blade interior.

The particularity of this model over the three previous is that it is able to manage the
effects of the variation of the cross-sectional shape of the beam along its length. However,
it takes more work to set up the model.

The use of this kind of model is well documented for the computation of natural frequen-
cies, deflection, stresses, strains and buckling?®2* (for instance). However, a difficulty arises
for computing the blade cross-sectional properties needed for the aeroelastic analysis and it
is to this task that the remaining of this section is dedicated.

To compute the cross-sectional properties from a 3D finite element model, we need to
know, at different locations along blade length, the internal loads and the beam generalized
deformations. Knowing the internal loads is the easiest task, but extracting the generalized

deformation is not straightforward. Usually, to do so, the blade reference axis displacements
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and rotations are computed from the nodal displacements and rotations of the nodes forming
the cross section. The longitudinal distribution of these reference axis displacements is then

derived using Eq. 3 to compute the generalized deformations.

The method proposed here is highly inspired by Malcolm et al.!. The particularity of the
proposed method is that the computation of cross-sectional displacements and rotations are
performed using a formulation similar to an interpolation element like NASTRAN’s RBE3

element.

The procedure to compute the distribution of cross-sectional properties along the blade

length (illustrated in Fig. 9) is as follows:

1. The blade is subjected to a set of linearly independent loads cases. N load cases are

needed for a N x N cross-sectional stiffness matrix.

2. n stations where the cross-sectional properties are to be computed are determined.

3. For each of these stations, the displacements (translation and rotation) of the reference
point is computed using the kinematic relation linking the reference node to the con-
nected nodes of a RBE3 element. The reference node of the element is the point that
is located at the intersection of the beam’s reference axis and cross-sectional plane.
The connected nodes are all the nodes within a given distance on both sides of the
cross-sectional plane. This distance should be as small as possible (but large enough
to get nodes to cover the entire cross section) to get a good representation of the

transverse shear strains.

4. Once the displacements of the beam’s reference axis are known at each stations along
its length, Eq. 3 is used to compute the generalized strains at each station. The

derivatives are computed using second order numerical derivations on 3 points.

5. For each station, the cross-sectional stiffness matrix is computed by solving the fol-
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FIG. 9. Model 4: Procedure for the cross-sectional properties evaluation from a 3D finite element

model from a set of unit loads at blade tip

lowing system:

Ve Ve orn
v, v, v,
N N €’
= KS
M, M, Ky
M, M, oy
M, M, K
R | - "¢ A L4

: (51)

K
L Z—G_

where the index of a vector designates the load case to which it is associated.

F. Application to the experimental cross-sectional analysis

The method used to compute the blade cross-sectional properties of model 4 can also be

used for the evaluation of the cross-sectional properties of a blade during a bending test.

As described in Section II, this test has been performed on the WESNet blade. Instead

of using the displacements of connected nodes to compute the cross-sectional generalized

deformations, the displacements of the 3D scanner’s reflective target were used.

Only 3 modes of deformation were considered in this analysis: flapwise bending, edgewise

bending and torsion. Then, the following system has to be solved to get a 3 x 3 stiffness

matrix:
M, M, Kz
M, | My =K | |ky
M, M, K.

1 3 1

Ky (52)

3

The 3 load cases used was a flapwise force near the blade tip, an edgewise force near the

blade tip and an excentric force close to the blade tip (coupled torsion and flapwise bending).

G. Summary of model capabilities

To conclude this section, Table III presents a summary of the capabilities of the 4 struc-

tural models described above.
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TABLE III. Summary of model capabilities

Analysis types

Model 1:

beam  model;
cross  section
idealized as
two rectangular

strips

Model 2:
beam  model;
strength of ma-
terials  theory
for thin-walled
composite

beams

Model 3:

beam  model;
thin-walled
cross-sectional

finite elements

Model 4:
shell finite ele-
ment model of

the whole blade

Cross-sectional

Local flapwise

Extension, two-

Full 6 x 6

Full 6 x 6

properties bending plane bending, cross-sectional cross-sectional
and their cou- stiffness matrix stiffness matrix
plings; torsion
Natural No Edgewise and Eigenvalue so- Eigenvalue so-
frequencies flapwise modes lution for Tim- lution for 3D
for Euler beam oshenko beam shell finite ele-
finite elements ments
Deflection No Edgewise and Beam axis Full field dis-
flapwise deflec- displacements placements and
tion for Euler and  rotations rotations for 3D
beam for Timoshenko shell finite ele-
beam finite ments
elements
Strains Longitudinal Longitudinal Full 3D strains Full 3D strains
strain strain due to
extension and
bending, shear
strain due to
torsion
Buckling No Linear buckling Not imple- Linear buckling
of long plates mented
Strength Based on longi- Based on longi- Based on fiber Based on fiber

tudinal strain

tudinal strain

direction stress

direction stress
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IV. COMPARISON OF DIFFERENT WIND TURBINE BLADE MODELS
AGAINST EXPERIMENTAL RESULTS

The four different structural models presented in the previous section are now compared
with each other and with the WESNet blade experimental results. First, the characteristics
of each model as well as the resulting cross-sectional properties are presented. Then, the
results with respect to modal analysis, deflection, strains, buckling and composite strength

are discussed.

A. Models description

The simple model (model 1) of the WESNet blade is built by evaluating the local flapwise
moment of inertia I (using Eq. 26) and local flapwise bending stiffness £1. These charac-
teristics are given at each blade longitudinal station of Table I as well as at other points of
interest like ply drops.

The classical strength of materials model (model 2) is used to compute the WESNet
blade cross-sectional properties at the same longitudinal stations as the model 1. Each of
these longitudinal station is discretized using 100 (for circular sections) to 210 (for airfoil
sections) segments.

The WESNet blade is also modelled using the cross-sectional finite element method
(model 3). Each section is discretized using 100 to 117 quadratic elements (depending
on whether the shear web is present or not). The aerodynamic surface elements use the
offset node option, i.e., the nodes are on the exterior surface of the blade and the element
thickness is built towards the blade interior. The shear web elements use the conventional
mid thickness surface definition. The blade cross-sectional properties are computed at the
same longitudinal stations as for models 1 and 2.

The 3D shell finite element model (model 4) of the blade is built using the Altair Hyper-
Works suite. Hypermesh, Optistruct and Hyperview are used respectively as pre-processor,
solver and post-processor. The OptiStruct solver uses the same input format as NASTRAN.
The model uses 4-node linear shell elements. As seen in Figure 10, the blade is discretized
with 38 elements along its chords length and the element size reduces towards the blade

tip to keep their aspect as square as possible. The model uses a total of 46 763 nodes and
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FIG. 10. Mesh of the WESNet 3D shell finite element model

47 272 elements (all but 3 are quadrilateral). Laminates are defined using the PCOMPP
method of OptiStruct. As for the cross-sectional finite element model, nodes are on the
blade’s exterior surface and the element thickness is built towards the blade interior. The
shear web elements use the conventional mid thickness surface definition. With this 3D
shell finite element model, the methodology presented earlier is used to compute the cross-
sectional properties of the WESNet blade. 75 equally spaced computation points are used
along the blade length.

Using the methodology presented for model 4, the experimental WESNet blade cross-
sectional properties are also computed. As the test jig does not allow the application of
axial load cases and as the precision of the measurements do not allow the computation of
transverse shear deformation, a 3 x 3 cross-sectional stiffness matrix is obtained (torsion and
two axes of bending). The cross-sectional characterization test was performed on one blade

only.

B. Cross-sectional properties

The cross-sectional stiffness properties computed from the different models of the WES-
Net blade are now compared. Due to the blade configuration, for which there are no signif-
icant couplings at the laminate level, the blade cross-sectional stiffness matrix should take
the following form:

(Kt Kz 0 0 0 Kyl
Kas Ks22 0 0 0 Ky
0 0 Kz Ksq Kgs 0
0 0 Ko Kas Kas 0
0 0 K5 Kus Kgs 0
Koo Kos 0 0 0 K

There is coupling between extension and bending because the reference axes are not neces-
sarily centered at the elastic center (K34 and K35 terms) nor aligned with the principal axes
of bending (K45 term). There is also coupling between both transverse shear deformation

(K512 term). Finally, there is a coupling between the transverse shears and the torsion de-
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formations because the reference axes are not necessarily centered at the shear center (Kyg
and K6 terms).

Models 3 and 4 are able to evaluate all the terms of the 6 x 6 cross-sectional stiffness
matrix. Model 2 only evaluates those associated with the extension, bending and torsion
deformations (K33, Ksaa, Kz, Koz, Ksss, Ksas and Kgg6). Model 1 only evaluate the local
flapwise bending stiffness (K44, when the z are is the flapwise principal axis of bending).
Finally, the experimentations allow computing terms associated with the bending and torsion
behaviour only (K1, K55, Ksas and Kgp).

The terms of the cross-section stiffness matrix that should be null are effectively null
when computed by model 3. Model 4 returns values that are not null but are small when
compared to the other terms.

The detailed results for each of the non-null terms are then presented. Figure 11a, b and ¢
present the results obtained for the terms associated with the transverse shear deformation.
We can see that both models show the same trends but a significant error is observable.
This is caused by the imprecision of model 4 to evaluate transverse shear properties. This
imprecision is due to the fact that transverse shear deformation is small in this blade and
hard to capture with the used method so a small error results in a larger relative difference.

As shown in Figure 11d, the axial stiffness from models 2, 3 and 4 are similar in the
outboard region of the blade. In the inboard region, model 4 shows the same trends but
with important differences. This is due to the fact that this model (3D shell finite element)
is able to take into account the effects of the rapidly changing cross section shape in this
part of the blade. On their side, models 2 and 3 suppose a constant cross-sectional shape.
The same conclusion can be made when looking at the bending stiffness of Figure 11e and
I

As the tests performed do not include axial loads on the blade, the extension-bending
couplings cannot be evaluated. So, the results of models 2, 3 and 4 have to be transferred to
the elastic center to be compared with the experimental results. This is shown in Figure 11¢g
and h where we can see a difference between the models of up to 30 % for the flapwise
bending stiffness (K,44) and of up to 20 % for the edgewise bending stiffness (Kg55). Note
that the experimental results were not available for approximately the first 1 m closest to
the blade root.

Starting from the cross-sectional stiffness matrices computed at the elastic center, it is
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possible to compute the orientation of the principal axes of bending. The results of the
angle 0; between the x-axis and the flapwise principal axis of bending (or local flapwise
axis) are shown in Figure 11i. All models return values close to each other. Transferring the
K44 term to this axis allows to compare with the local flapwise bending stiffness obtained
from model 1. As shown in Figure 113, model 1 return values that are close to those of the
other models in the outboard region of the blade. In fact, model 1 computes values that
are approximately 2 to 3 % smaller than those of the other models. A higher difference is
observed from blade root to z = 1 m. This is because, in that region, the aerodynamic shells
outside the spar caps are as thick as the spar cap, contributing to the blade stiffness, which
is not taken into account in model 1. However, we can say that model 1 gives conservative
results that are close to the values obtained from the other models.

The results of torsional stiffness are presented in Figure 11k, where they are transferred
to the shear center for models 3 and 4 in order to be able to compare with model 2 and
the experimental results. The results from models 2, 3 and 4 show similar trends. Around
z = 0.5 m, Model 4 differs from the two others. This is due to the fact that this model takes
into account the changing cross-sectional shape. When zooming in the outboard section
of the blade (see Figure 11/, we can observe differences between the different models of
up to 50 %. At the opposite of what was observed for bending, model 4 underestimates
the torsional stiffness. This can be explained by the difficulty of obtaining good results for
torsion from a shell finite element model using offset shells as reported in the literature?®27.

As shown in Figures 11/ and 11m, the shear center position as computed by models 3 and
4 are quite different. However, theses differences are still small relative to the cross-sectional
dimensions. It illustrates the difficulties associated with the computation of the transverse
shear properties using the 3D shell finite element model.

Results for the K6, Kgo6, K34, Ks35 and K5 terms are not presented here as they are
used to compute the elastic and shear center as well as the orientation of the principal axes
of bending.

Comparing the blade cross-sectional properties from the different numerical models
against the experimental data leads to the following observations. Model 1 gives a conser-
vative but fair estimation of the local flapwise bending properties at low calculating cost.
Model 2 gives very good results for extension, bending and torsion. Model 3 seems to be the

most reliable according to the validation performed on it?. Model 4 gives very good results
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FIG. 11. Cross-sectional stiffness terms and associated properties. Experimental results come from

blade 1. (a) Ksi1. (b) Ks22. (¢) Ks12. (d) Kgsz. (€) Ksaa. (f) Ksss. (9) Ksaa at elastic centre.

(h) Kss5 at elastic center. (i) 61. (j) Ks4 in principal bending axes. (k) Kgpp at shear center. (1)

K6 at shear center (zoom). (m) z.. (n) ye

26



AlP

Publishing

458

459

460

462

463

464

465

466

467

468

469

470

471

472

473

474

476

478

479

480

482

483

for axial and bending behaviours. For a wind turbine blade with no bend-twist coupling,
models 2, 3 and 4 are correct. Model 1 is usable for preliminary analysis based on flapwise

bending behaviour.

C. Natural frequencies

Blade natural frequencies computed using models 2, 3, and 4 are now compared with the
experimental data. The experimental method consists in deflecting the blade tip and then,
releasing it suddenly. The Fourier transform of the time-domain signal of one of the strain
gauges is computed to obtain the natural frequency. Two natural frequencies can clearly be

identified at 6.4 Hz and 15.0 Hz. Both blades tested give the same results.

Table IV shows the comparison of model data with experimental data. In each model,
the materials’ density was adjusted to get a blade mass of 21.6 kg, equivalent to the real
blade. This mass does not include the 6.40 kg of steel parts at blade root. Each of these
models predict a similar center of gravity location, but these values are approximately 3 %
lower than the one of the real blade. For the first blade natural frequency, all three models
are within 3.5 % difference relative to the experimental value. This difference increases up
to 14.6 % for the second natural frequency. The differences between models 2, 3 and 4 are

within a 2 to 3 % range and they are satisfactorily predicting the experimental data.

As we can see in Figure 12 for mode 3, each model predicts mode shapes that are similar

to each other. Mode shapes computed by model 4 are also similar.

D. Deflection

Looking now at the blade deflections during the design load test (defined in Section II),
we can see in Figure 13 that all models predict well the flapwise deflection. At tip, all values
are within a 5 % interval. The experimental data were obtained from tests on two different
blades (results for both two blades are shown in Figure 13). For the edgewise deflection, we
can observe some scatter in the experimental data, which is normal due to the low deflection

values and to the precision of the method used to compute them (see Section II).
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TABLE IV. Results of the blade modal analysis. m is the blade mass, Z, is the distance from its
root to its center of gravity along its length and f; is the ith blade natural frequency. §; is the
relative difference (in %) between model j and experimental data. Experimental results are the

same for both blades.

Experimental Model 2 Model 3 Model 4 09 03 04

[kg] 21.60 21.60 21.60 21.60 0.0 0.00 0.00

Zeg [m] 1.180 1.143 1.143 1.140 -3.1 -3.1 -3.4
fi [Hz] 6.400 6.616 6.474 6.559 34 1.2 2.5
fa [Hz 15.00 17.19 17.05 16.72 14.6 13.7 11.5
f3 [Hz] - 20.86 20.32 20.21 - - -
fa [Hz] - 42.69 40.42 40.55 - - -
f5 [Hz] - 58.32 57.08 56.18 - - -

1.0 T

T T
—  Xa, model 2
08H Xy, model 2 1
0.6 — - Xa model 3 |
g — - Xy, model 3 .
= 04 ) 1
> <+ Xa, model 4
x .
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=
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—0.4
00 05 1.0 15 20 25 30 35 40
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FIG. 12. Comparison of the 3rd blade mode shape. x, and x, are respectively the edgewise and

flapwise deflections
E. Strains

All four models allow computing the blade strains. Figure 14 shows the maximum and
minimum longitudinal strains computed over the blade length by these four models for the
design load (defined in Section II). In addition to these data, the experimental results from

the two blades tested are shown. The strain gauges were placed on the upper and lower
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FIG. 13. Comparison of experimental and models blade deflection under the design load. x, and

Xy are respectively the edgewise and flapwise deflections

blade surface at 30 % of the chord length (which correspond to the chordwise blade reference
axis location). As seen in Figure 14, models 2, 3 and 4 predict the strains obtained from
the experiments relatively well (within a 10 % range). As expected and desirable, model 1

gives a conservative evaluation of the strain levels by overestimating them.

Mod. 4
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*  Exp., bl 1
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FIG. 14. Comparison of experimental and models blade strains under the design load. Top curves

are lower surface data and lower curves are upper surface data
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F. Buckling

During the experimentations, buckling has been observed in both steps of the destructive
tests (performed on both blades tested).

During the first step (where the blade was simply supported at z = 2360 mm and loaded
at z = 3500 mm), buckling was observed on the first blade tested at location z = 2800 mm,
on the panel near the trailing edge on the airfoil upper surface. From the 3D scanner data,
we know that buckling occurs between 2000 and 2250 N of load applied on the blade. When
looking at the signal of the strain gauge closest to the buckling location, we can see a change
in the slope at a load of 2160 N.

For the second blade tested, no buckling was observed with the 3D scanner before the
blade failure under a load of 2000 N. But when looking at the signal of the strain gauge
closest to the buckling location (for blade 1), a change of slope is observed at a load of around
1800 N. This value corresponds to the intersection point between a line passing through the
initial slope and a line passing through the final slope.

For the second step of the destructive test (where the force was applied at z = 2360 mm),
the 3D scanner indicates that buckling occurs between 4000 N and 6000 N applied on the
blade, and this is the case for both blades. Figure 15 shows the buckling of blade 1 as
recorded by the 3D scanner (blade 2 is similar). As we can see, the center of the wave that
has the maximum amplitude is located at z = 1200 mm, where a strain gauge was installed.
Again, buckling occurs on the panel near the trailing edge on the airfoil upper surface of
the blade. When looking at the signal of this strain gauge for both blades, we can see a
change in the slope (intersection point between lines passing through the initial and the
second linear parts of the curve) at a load of 4600 N for blade 1 and at a load of 5500 N for
blade 2.

FIG. 15. Buckling at z = 1200 mm on blade 1 during the second step of the destructive test

recorded by the 3D scanner

As summarized in Table V, for the first step of the destructive tests, buckling occurs at a
load level between 1800 and 2160 N at a radial location z = 2800 mm. For the second step
of the destructive tests, buckling begins at a load between 4600 and 5500 N at 1200 mm
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TABLE V. Comparison of buckling results

Model Step 1 Step 2

Buckling force [N] Buckling loc., z [mm]| Buckling force [N] Buckling loc., z [mm)]

Experimental 1800-2160 2800 4600-5500 1200
Model 2 2326 2662 3702 1160
Model 4 3066 2695 6059 1135

from the blade root.

The shell finite element model of the blade (model 4) allows computing buckling loads.
Figure 16 shows the first buckling mode for both steps of the destructive test. The buckling
loads are 3066 N and 6059 N for the first and second steps of the destructive test respectively.

These results are also presented in Table V.

(a)

(b)

FIG. 16. Buckling results from model 4. (a) step 1, (b) step 2

The only other model able to compute buckling loads is the classical strength of materials
model (model 2). For the first step of the destructive test, this model predicts a buckling
load of 2326 N at the section located at 2662 mm from the blade root. For the second step,
buckling occurs at 1160 mm from the root at a load level of 3702 N. These results are also
summarized in Table V.

When comparing the buckling results, we can first see that the buckling locations are
relatively well predicted by both models. All results are within ranges of 105 mm for step 1
and 65 mm for step 2. If we compare the buckling loads, we can see that model 2 predict
lower loads than model 4. However, the experimental data for step 1 show that buckling
occurs at a load that is lower than the one predicted by both models. For the second step,
the experimental results range between the results of models 2 and 4.

On one hand, the buckling hypothesis for model 2 is conservative. As the blade panels are

curved, the flat plate assumption leads to lower buckling loads than if a solution for curved
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panel was used?®. However, on the other hand, the assumption on the panel boundary con-
ditions can be non-conservative in some case. Here, simply supported boundary conditions
are used on all sides. But with the one-shear-web configuration, the trailing edge panel is
supported only by the spar cap (a thicker laminate) and not by a shear web. This leads
to a boundary condition that lies somewhere between a free edge and a simply supported
edge, which results in less support than the model used to get the buckling load. It probably
explains the fact that model 2 gives a non-conservative buckling load for step 1. For step
2, the buckling occurs at a location where the rigidity difference between the trailing edge
panel and the spar cap is higher, resulting in boundary conditions that are closer to the
simply supported assumption and explaining the conservative result obtained from model 2.

When looking at the results of model 4, the ratio of shell finite element buckling loads to
experimental minimum buckling loads is 1.70 for step 1 and 1.32 for step 2. The differences
between the experimental data and the results from the shell finite element model can be
explained partly by the fact that, as seen in the previous results (frequencies, deflections,
strains), the models overestimate the blade stiffness. The buckling results go in the same
way. Another important aspect explaining the results of model 4 is that, as reported in
the literature®®23, finite element linear buckling analyses are non-conservative. For instance,
Bergreen et al.?? report a non-linear buckling load as low as 65 % of the linear buckling
load depending on the induced imperfections. According to that, the buckling load values
obtained from model 4 seems reasonable. We can also note that these buckling behaviors
occur in non-structural areas and do not lead to blade failure. Finally, it is worth noting
that the non-conservative aspect of the linear finite element buckling results is formalized

29,30

by some standards where a partial safety factor of 1.25 is specified when using this type

of buckling analysis.

G. Composite Strength

The last object of comparison between the different blade structural models is about the
blade strength. For the first step of the destructive test, both blades failed in similar ways.
A compressive failure occurs in the spar cap on the upper side. For blade 1, the failure occurs
for a load around 2650 N (continuous recording of the load cell data was not available so an

estimate of the failure load is given) at 2760 mm from the root. Blade 2 fails at a load level
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(b)

FIG. 17. Failure of blade 1 in the first (a) and second (b) step of the destructive test

of 2110 N and the failure is located at 2690 mm from the root. These values are summarized
in Table VII presented at the end of this section. Figure 17a shows images of the failure of

blade 1.

During the second step of the test, blade 1 fails at a load level of 10 528 N and the failure
is located at 1210 mm from the blade root in the spar cap of the upper side (see Figure 17b).

The second blade fails in a different way. The failure process starts by a crack appearing
on the leading edge around 450 mm from the root at a load level of 8450 N. After reaching a
maximum load of 9040 N, the trailing edge suddenly opens at 700 mm from the blade root.
At this moment, the load slightly decreases. After a small increase in the applied load, the
blade fails at 500 mm from the root. This results in a failure of the shear web and of both

upper and lower skins near the trailing edge.

As the failure process of the second blade during step 2 of the destructive test is hard to
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analyze with the numerical model used in this article, only the results of the first blade are
used for the comparison of this section. They are reported in Table VII.

For the evaluation of the blade strength with models 1 and 2, the strength of the different
laminates is needed. This is obtained by using the classical lamination theory with the

following procedure as proposed in composite textbooks!3!4

1. The first ply failure stress is computed using the Tsai-Wu criterion.

2. For that ply, the maximum stress failure criterion is used to get the failure mode (longi-
tudinal tension, longitudinal compression, transverse tension, transverse compression

or shear).

3. If the failure mode is in the transverse direction or in shear, the stiffness dominated
by the matrix properties (Es, G and vis) are set to 0. If the failure mode is in the
longitudinal direction, the stiffness dominated by the fiber properties (Ey, and vy5) are

set to 0.
4. This process is repeated until the maximum load is reached.

5. The failure strain is computed as the failure stress divided by the initial longitudinal

modulus.
6. The failure analysis is applied to the 0° and £45° plies only.

Table VI summarizes the tension and compression longitudinal failure strains for all
laminates along the blade length. All compressive strains are lower than tensile strength.

When using the compressive failure strains within structural model 1, for the first step of
the destructive test, the blade failure is predicted at z = 3211 mm under a force of 1288 N.
A second possible failure point is located at z = 2662 mm and arise when the force reaches a
value of 1705 N. This second failure point is interesting because it is located near the failure
location observed during the tests. For the second step of the destructive test, the failure is
predicted at z = 1360 mm under a force of 9661 N. These results are reported in Table VII.

The results obtained from structural model 2 are similar to those of model 1. For model
2, due to the asymmetry of the blade cross section, the extremum cross-sectional strains are
not the same in tension and in compression. The predicted failures are in compression due

to the fact that the failure strains are smaller in compression than in tension. As presented
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TABLE VI. Failure strains of the laminates along the blade length. ef and eg are respectively the

tensile and compressive longitudinal failure strains

longitudinal position el %) S (%)
z < 337 mm 1.32 0.89
337 mm < z < 960 mm 1.61 1.02
960 mm < z < 2624 mm 1.59 1.01
2624 mm < z < 3173 mm 1.45 0.94
3173 mm < z 1.07 0.84

in Table VII, the predicted failures of structural model 2 are at the same locations as those
of model 1, but for higher load values. So, as for the bending stiffness evaluation, model 1
gives conservative estimation of the failure load.

For models 3 and 4, the method used for the evaluation of blade failure load is based on
a method described by Barbero'?. In order to get the failure loads, all the materials’ stiff-
nesses were given a value close to zero, except the longitudinal properties of the glass/epoxy
unidirectional plies, the transverse shear of the glass/epoxy unidirectional plies and the core
material properties. By doing so, the blade behaves as if transverse failures have occurred
so that all the load is carried by the fibers. To avoid numerical problems associated with
zero stiffness deformation modes, the transverse shear properties of the glass/epoxy unidi-
rectional plies and the core properties were also kept unchanged. All the material strengths
were set to really high values excepted the tensile and compressive longitudinal strength of
the glass/epoxy unidirectional plies to force the solver to compute failure indices associated
with these failure modes. The Tsai-Wu failure index Fry is used. This index is the inverse
of the safety factor. Note that, in this case, Tsai-Wu and maximum stress failure criterion
give the same results. This gives a conservative estimation of the last ply failure strength
by using a linear model.

When performing this analysis with structural model 3, for the first step of the test, a
failure is predicted at z = 3211 mm under a force of 1452 N. Another possible failure point
is located at z = 2662 mm and the failure occurs at a 1942 N load level. For the second step
of the destructive test, a failure is predicted under a force of 11 270 N at 1360 mm from the

blade root. For both steps of the test, the failure occurs in compression on the upper side’s
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spar cap. As an example, Figure 18 shows the distribution of the composite failure index in
the cross section located at z = 1360 mm for the second step of the destructive test under

a unit load. The failure results from model 3 are presented in Table VII.

FIG. 18. Distribution of the composite failure index from model 3 (maximum value among each
layer) in the cross section located at z = 1360 mm for the second step of the destructive test under

a unit load. The inverse of the maximum failure index gives the failure load: 1/8.87x107° = 11 270

The failure results from model 4 are summarized in Figure 19, showing the composite
failure index distribution for unit loads. For both steps, a compressive failure is predicted
on the upper side of the blade. Two points are identified for both steps, they correspond to
the two highest values of the failure index. The failure results of model 4 are summarized

in Table VII

(a)

(0)

FIG. 19. Failure indices from model 4 (maximum value among each layer) under unit loads. The

failure load can be computed as the inverse of the failure index. (a) Step 1. (b) Step 2

When comparing the results of Table VII, we can see that the failure locations are rela-
tively well predicted by all models. Sometimes, the first failure predicted is not exactly at
the experimental failure point, but a second point of high failure index is located close to
the experimental failure point. The predicted failure loads are conservative or close to the
observed values. As expected, the results from model 1 are the most conservative, but give
very good insight on the failure behaviour despite the model simplicity. As also expected,

model 4 is the most precise.

V. CONCLUSION

In conclusion, the simple model (model 1), despite its simplicity, gives fair results for the

local flapwise bending stiffness, the strain distribution and the blade failure. In addition to

36



AlP

Publishing

649

650

653

654

655

656

657

658

659

660

661

662

663

665

666

667

668

669

670

TABLE VII. Comparison of blade strength results

Model Step 1 Step 2

Failure load [N]  Failure loc., z [mm] Failure load [N] Failure loc., z [mm)]
Experimental 2110-2650 2690-2760 10 530 1210
Model 1 1288, 1705 3211, 2662 9661 1361
Model 2 1723, 1925 3211, 2662 11 010 1360
Model 3 1452, 1942 3211, 2662 11 270 1360
Model 4 1704, 2249 3215, 2687 10 850, 13 080 1135, 1273

that, it returns conservative results. However, this model does not allow the evaluation of
the blade’s natural frequencies, deflection (a conservative evaluation of the deflection of the
untwisted blade could be performed, but was not done here) and buckling. This model is
well suited for preliminary design based on blade strength.

The classical strength of materials model (model 2) gives good results for cross-sectional
properties, natural frequencies, deflection, strain and composite failure. Buckling has to be
handled with care as non-conservative results are obtained despite the conservative hypoth-
esis of the model. Also, this model is limited to blades using orthotropic laminates (i.e., no
material couplings at the laminate level). Care must also be paid to the region where the
shape of the cross section is varying quickly. The stress, strain and failure index are not
accurate in these regions.

The cross-sectional finite element model (model 3) gives the more reliable results for the
cross-sectional properties, especially for properties associated with transverse shear. This
model is well suited for beams that use material coupling (bend-twist coupling for wind
turbine blades for instance). It gives good results for natural frequencies, deflections, strains
and composite strength, but as the classical strength of materials model, it suffers from a
lack of precision in the region where the shape of the cross section is varying quickly. No
buckling analysis was implemented within model 3, but it could be possible to implement
something similar to model 2, with similar results.

These latter two models are well suited for more detailed design and for providing the
blade cross-sectional properties needed for the aeroelastic analysis without having to build

a 3D shell finite element model, which is much more time consuming.
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The 3D shell finite element model (model 4) is the more precise and is the only one
that can manage the regions of the blade where the cross-sectional shape changes quickly.
However, it is less reliable than model 3 for the computation of cross-sectional properties
associated with transverse shear. The results of the buckling analysis also have to be used
with caution since they are not conservative. The 3D finite element model is the ideal model

for the final validation of the blade.

When looking at the time to build and run these different models, we can say that models
1, 2 and 3 has similar build times. Both of these models require a tabular description of the
blade. Assuming that the blade aerodynamic shape is known (in a tabular format), that
the airfoil contour point files are available and that the material properties and layups are
defined, these models can be built in minutes. As model 1 require only the informations
about spar caps, it is even shorter than that. Model 4 can be built as quickly as model
2 and 3 if a tool generating finite element model from a tabular description of the blade
is available. However, for the final stage of the design process, when a geometric model
needs to be done using a CAD software and then, meshed, the built time increases to hours.
In regards to the simulation time, models 1, 2, 3 and 4 take respectively 0.1 s, 4.5 s, 28
min and 3 min 25 s to solve two load cases on the same computer. These times include
buckling analysis for models 2 and 4. It is important to note that the considerable solving
time for model 3 is due to the fact it uses a fine mesh and that this in-house code uses an
interpreted language (Python) and no code optimization has been done yet. Its conversion

into a compiled language would reduce the simulation time.

To conclude this paper, the wind turbine blade design process presented in Figure 20 is
proposed. The inner circle represents the very first stages of the design process where model
1 can be used to validate the feasibility of an aerodynamic design and get an idea of the mass
distribution. A set of loads can be obtained on a standstill blade under the extreme wind
model without information about the blade mass or stiffness. Once the aerodynamic design
seems feasible, the process can go to the second circle. If no blade stiffness information
is available, an aeroelastic model with rigid blades can be used to get the loads. Model 2
or 3 can be used to get a preliminary structural design and to compute the blade stiffness
properties. The process can then enter the outer circle, where model 4 is used for the blade

dimensioning and validation and where the aeroelastic model uses flexible blades.
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stages of the design process that will evolve towards the outer circles as the blade design refines
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